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This paper develops a framework of dynamic simulation driven fatigue life analysis of a
landing probe system for a typical 12-ton tricycle landing gear helicopter for embarked
operations on the typical frigate. By integrating a novel dynamic helicopter/ship interface
simulation with the rainflow cycle counting method, fatigue spectra including all possible
probe load cases under the wide range of operating and environmental conditions have been
developed with a confidence level of greater than 99.9%, otherwise they would be practically
unobtainable even by limited sea trial testing. Furthermore, the fatigue stresses of the probe
assembly were obtained by finite element method and the cumulative fatigue damage
analyses were conducted by monitoring the fatigue life of the critical locations on each
component of the probe assembly using the Palmgren-Miner rule against the design life
requirement. This new approach provides an innovative and efficient design tool, through

virtual prototyping, that can speed up the design process and reduce cost.
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static load factor for radial probe loading
oleo stroke dependent damping coefficient
static load factor for vertical probe loading
constant damping coefficient

viscous damping coefficient

hydraulic damping coefficient

tire diameter

damage contributions

total fatigue damage

oleo damping force

external force acting on helicopter body
maximum static oleo friction force

oleo frictional force

total oleo force

radial probe load

oleo spring force

tire force

vertical component of tire force

vertical probe load

spring stiffness of traversing cable
corrosion factor

size effect factor

surface finish factor

impact load factor

reliability factor

generic spring stiffness of securing system
temperature factor

helicopter mass



M, = external moment acting on helicopter body

my = mass of securing system

m,, = unsprung wheel mass

n = number of fatigue cycles

N = number of cycles causing crack initiation

Do = Iinitial oleo gas pressure

P = tire inflation pressure

P, = rated tire inflation pressure

q = displacement of suspension in local coordinate system
Se = corrected fatigue endurance stress limit

S.o = non-degraded endurance stress limit

Vo = initial oleo gas volume

Ve = Dbody velocity relative to free stream wind

w = tire width

X = vector of translation displacement of helicopter center of mass
Xy = displacement of securing system

a = decay rate

o = tire deflection

V4 = gas constant

Neavie = Viscous damping coefficient of traversing cable

7y = generic viscous damping coefficient of securing system
)7, = coefficient of friction

Yo = density of air at sea level

o = stress at critical locations

oy = alternating stress amplitude

O = equivalent fatigue stress at zero-mean stress

fo = mean stress



o, = material yield stress

T = tire type

Subscripts

i = Iinitial value of variable
X, ¥,z = X,Y,and z components
Superscripts

first time derivative

second time derivative

I. Introduction

Embarked naval helicopters have a wide range of applications from performing anti-submarine warfare and other
combat missions from warships to search and rescue operations such as medical evacuation of personnel from
civilian vessels. In order to fulfill these diverse roles, shipboard helicopters must be operable in the greatest range of
sea and wind conditions. Many systems have been developed to assist in the safe recovery and on-deck handling of
embarked helicopters in severe sea and wind conditions. Among them, the Recovery Assist, Secure and Traverse
(RAST) system ' appeals most because it can safely recover, secure, and traverse shipboard helicopters without
strictly requiring any personnel on the ship’s flight deck. The RAST system provides the capability to secure a
variety of helicopters (in terms of size and landing gear configuration) from ships in very high sea conditions up to
and including upper sea state 6.

The RAST system secures the helicopter onto the flight deck by engaging a helicopter-mounted probe which is
the only structural link between the helicopter and ship’s flight deck as illustrated in Fig. 1. Depending on the sea
conditions and operational factors such as ship heading and ship speed relative to the principal sea direction, the
probe will experience cyclic securing loads over a wide range of values, which could lead to a sudden and
catastrophic failure due to the accumulated fatigue damage to the probe structure. The failure of the probe may result

in the loss of the helicopter and lives of personnel on board that is especially true in elevated sea conditions.



Fig. 1 RAST probe being secured in a rapid securing device.

Traditionally, engineers and designers have relied on limited statistical data to estimate the probe’s design load
spectra and costly physical prototype tests to determine the fatigue life of the probe. Using this design process, it is
difficult to fully evaluate the impact of the severe sea and wind conditions on the fatigue life of the probe due to the
safety and cost prohibitive nature of sea trial testing. To overcome the limitation of the traditional design process, an
innovative design framework has been developed that is capable of accurately analyzing the fatigue life of the probe
assembly as well as its individual components in one single and integrated simulation environment in a time
efficient manner. This framework of virtual prototyping includes: non-linear transient dynamic simulations of the
helicopter/ship interface to develop fatigue load spectra, finite element analysis of the probe assembly, and the
cumulative fatigue damage analysis. The successful implementation of this novel solution allows for the prediction

of the fatigue life of the probe without physical fatigue prototype tests.

II. Description of Helicopter Landing Probe Assembly

The primary airborne structural element of the helicopter securing system is the three-stage telescopic cylindrical
retractable probe. It consists of three primary structural components: the shaft, inner housing, and outer housing as
shown by the solid model of Fig. 2. The shaft and inner housing are fully retracted into the outer housing when not
required in the normal flight condition and fully extended by an embedded spring, activated by the pilot in the
cockpit, for capture during the landing, traversing, launching, and other on-deck operations. After being secured by
the shipborne RAST rapid securing device (RSD), the probe shaft reacts the dynamic securing loads due to ship
motion and the wind environment. The principle structural elements (PSEs) in the probe assembly are the shaft, the

inner and outer housings, the crenellated ring, and spherical nut. It should be noted that when the probe is secured by



the RSD, the horizontal loading is continuously reacted by the probe. However, the probe can only react the
downward-vertical loads to restrain the helicopter from moving upwards relative to the ship deck under severe ship

motion conditions when the crenellated ring is in contact with the bottom of the RSD arresting beams.
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Fig. 2 Structural configuration of probe assembly.

The structural integrity and strength of the probe assembly was analyzed using the finite element (FE) method.
The interactions among the probe components and the helicopter structure are complicated and unknown in advance.
A contact solution algorithm was adopted for the analysis of the probe assembly to solve for the interactions and
stresses simultaneously in order to eliminate the error sources in estimating the interaction forces. The contact
solution algorithm transfers the loads from the shaft tip to the helicopter structure automatically according to the
geometry and stiffness of each contacting part and then solves for the contact region and associated stresses. These

local contact stresses were used in the optimization of the local contact areas as well as the geometry size and shape

of each component.

II1. Modeling of Helicopter/Ship Dynamic Interface

Traditional approaches to the helicopter/ship dynamic interface use static, quasi-static, and frequency domain
analyses® to estimate the securing requirements of helicopter on small ships and neglect important factors
influencing the helicopter/ship interface dynamics. During various onboard operations, a helicopter may experience
securing loads generated by geometrically nonlinear and time dependent ship motion, deck reaction forces through
the helicopter suspensions such as nonlinear and intermittent tire contact and sliding, time and displacement
dependent helicopter rotor forces and moments, and aerodynamic forces, respectively. The time dependence and
nonlinearity nature of the problem requires a thorough and robust nonlinear analysis of the coupled equations of

motion to describe the characteristics of the helicopter/ship interface and the forces acting on the helicopter. Figure 3



shows a 16 degrees-of-freedom (DOF) helicopter/ship interface model, including three translations and three
rotations for the ship, three translations and three rotations for the helicopter body, and one prismatic or revolute
degree of freedom per suspension (three in total) depending on the suspension type, and one degree of freedom for
the RSD in ship’s longitudinal axis. The main driving force in the helicopter/ship dynamic interface model is the
time-varying ship motion that has been calculated using response amplitude operator (RAO) spectra defined in the
frequency domain. * However, it should be noted that the spectrum approach for the ship motion is a linear analysis
and is applicable up to a significant wave height of 6 meters (upper sea state 6). * The 16 DOF helicopter/ship
interface model in Fig. 3 has been developed and implemented into an aircraft/ship dynamic interface analysis
simulation program Dynaface” > by Curtiss-Wright Controls Engineered Systems — Marine Defense and will be

used to determine the dynamic helicopter/ship interface loads.
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Fig. 3 Schematic of helicopter/ship interface model.
A. Equations of Motion of Helicopter
Consider the helicopter model shown in Fig. 3. A system of Cartesian coordinates, Oxyz, is selected to describe
the motion of the helicopter with its origin located at the centre of gravity (CG) of the helicopter where (x,y,z)
denotes the forward, lateral and upward directions of the helicopter, respectively. The equations of motion of the

helicopter can be expressed in terms of force and moment equilibrium in the helicopter frame as:

mX =Y F,, O

IQ+QxIQ=YM,, (2



where m and I are the mass and moment of inertia matrix of the helicopter about its CG, X is the vector of
translational displacement of the helicopter’s CG in an inertial system, and £2 is the angular velocity of the
helicopter described in the helicopter frame, respectively. The external force F,, and moment M, will be

determined in the following sections.

B. Equation of Suspension Systems

There are two widely used suspension configurations implemented in the model: (i) the cantilever (or vertical
oleo), and (ii) the leading/trailing arm suspensions as shown schematically in Fig. 4. The cantilever type suspension
requires a translational degree of freedom while the trailing-arm suspension requires an angular degree of freedom.
Both of these suspension types have been simplified as a mass-spring-damper system. Considering the fact that the
mass of the helicopter body is several orders higher than the suspensions, the helicopter body and suspensions can

be decoupled dynamically to improve the computational efficiency without scarifying accuracy.

Fig. 4 Schematic representation of helicopter suspensions: (a) cantilever and (b) trailing-arm suspension.

In general, the dynamic equation of the suspension can be expressed as,

F.-F, Cantilever Suspension 3
m,g= 1C 3)
= F,.-F, Trailing — arm Suspension

where Fr is the vertical component of the tire force, m, is the effective mass associated with the suspension

depending on the suspension configuration, ¢ is the acceleration of the suspension in local coordinate system, and

Fy is the oleo force consisting of a spring-damper system with friction contributions, such that,



F,=Fg+F,+F, “

where Fs, Fp, and F, are the spring, damping, and frictional forces of the gas oleo in response to the relative

displacements and velocities, respectively.

1. Oleo Spring Force

The oleo spring force results from compressing a volume of gas enclosed within the oleo. Figure 5 illustrates the
model used to evaluate the oleo spring force. The first region (Region 1) represents the unusual case of oleo
extension and is modeled by a linear spring. Oleo compression in Region 3 is modeled using the ideal gas law for

the primary compression region, such that,

_ pVi4 (5)

C(h - 4q)
where p, and V are the initial gas pressure and volume with the oleo fully extended, yis the gas constant, 4 is the
area of the oleo piston, and ¢ is the oleo compression displacement, respectively. To guarantee a continuous and
differentiable transition between Regions 1 and 3, Region 2 is described using a cubic polynomial, though the extent
of the transition region has been exaggerated for clarity in Fig. 5. Oleos containing multiple stages beyond Region 3
are modeled using third order polynomials.
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Fig. S Schematic representation of a typical oleo spring model.
2. Oleo Damping Force
Damping in the oleo may consist of constant, viscous, or hydraulic damping effects individually or in

combination. As a result, a generic damping force model is given as,



FD=C1+czq'+c3qz (6)
where ¢ is the velocity of the stroke and (cy, ¢, c3) are the damping coefficients for the constant, viscous, and

hydraulic damping. If pressure relief valves are included, a multistage damping model can be used as shown in
Fig. 6. For the case of an oleo containing a metering pin that continuously varies the orifice size, the constant and
viscous damping effects can be neglected and the resulting force is dependent on both oleo stroke and velocity, such

that,

Fy =2 bq)d’ (7

where b,(q) are the stroke dependent damping coefficients.

Damping Force

Compressive Velocity, q'

Fig. 6 Typical damping characteristic for a gas oleo including the effect of a pressure relief valve.
3. Oleo Friction Force

Finally, the oleo friction force is defined as: ®

F, = (§/)])F (1~ exp(- alg]) )

where « is the decay rate of the modified friction model, ¢ is the suspension configuration coordinate, and F,,, is the

maximum static oleo friction force.

C. Equations of Tire Model
The tires are one of the most important elements in the helicopter/ship interface system as they form the primary
interface between the helicopter and the ship. Tire forces are calculated using the tire model of Smiley and Horne, °

such that,

F, =[053a (P+4p K5, jd . ©)

F, =[tw(P+024P)1-0.76_/w)p, (10)
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F.=f(z.wd.P,P,5.) an

where (F,, F,, F,) are the components of tire force in the longitudinal, lateral and vertical directions, P is the
inflation pressure, P, is the rated pressure, 7 is the tire type, d is the tire diameter, w is the tire width, J,, J,, J. are the
longitudinal, lateral, and vertical tire deflections, and f'is the vertical tire force function obtained from experiments,
respectively.

The above tire model is highly nonlinear because the instantaneous tire inflation pressure is dependant on the tire
deflection and its rate. The exact values of the tire forces are determined by an iterative process using previous state
parameters as input to the tire model, such as, the vertical tire deflection, local tire velocity, lateral and longitudinal
distances the wheel hub has traveled, the previous lateral tire deflection, the contact condition with the ship deck,

etc. Detailed expressions can be found in Ref. 9.

D. Aerodynamic Effects
Aerodynamic forces acting on the helicopter result from the fuselage drag and the rotor-induced forces and
moments. Aerodynamic drag is calculated based on the equivalent frontal and side areas of the helicopter fuselage

and the relative wind speed, such that:

(12)

1
= 710Vrelm. V

F
D, rel
v2

eqy,

where 4, are the equivalent frontal and side areas respectively taking into account the coefficient of drag, p is
-
the density of air at sea level, and V,,, are the body velocities relative to the free stream wind in the longitudinal

and lateral directions, respectively.

The rotor thrust is modeled using a constant thrust value during the descent phase of the touchdown transient
followed by decaying rotor thrust as the pilot reduces the rotor collective to its minimum. This optional decreasing
thrust can be triggered by the first wheel contact with the deck. In addition, an embarked helicopter, even with the
rotor at its minimum collective, will experience additional rotor lift due to the angle of attack of the rotor disc
relative to the apparent wind as a result of angular ship motions as shown in Fig. 7. Wind tunnel experiments '*"'

have demonstrated that the wind-induced rotor thrust can be as high as 25% of the helicopter weight for the case

where the rotor collective is at its minimum. Consequently, potentially large rotor forces and moments can be
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developed. These effects are evaluated continuously throughout the simulation based on aircraft manufacturer rotor

data at different instantaneous wind conditions and angle of attack.

Fig. 7 Visualization of airflow over a typical frigate flight deck.
E. Securing System
The securing system consists of the airborne probe assembly and the shipborne RSD assembly. The securing
system is simplified as a generic spring-damper system and a single DOF lumped mass-spring model linking the

helicopter and the ship deck such that:

m.vjés + (ﬂs‘x + ncable )xv + (ksx + kcable )xs = 0 (13)
I:'y,x = kEy,zé‘siy,z + ni)f,zé;siy,z (14)

where k. and 7, ,. are the spring stiffness and viscous damping coefficients of the generic spring model in x, y, z
directions while k.. and 7.4, are the spring stiffness and viscous damping coefficients of the traversing cable
connecting the RSD, respectively.

The stiffness of the generic spring in each of the three principal directions are evaluated by considering the
flexibility of the helicopter fuselage, the probe assembly, the RSD, and the ship deck in series in three principal
directions, respectively. The spring is assumed to connect the helicopter to the ship directly in the ship’s vertical and
lateral directions. In the longitudinal direction, the spring connects to the lumped mass of the RSD and then the ship

via the traversing cable.
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IV. Critical Locations and Load Factors in Probe Components

The fatigue life of the probe assembly is dictated by the crack initiation at the critical locations of each
component. These critical locations can be identified through a static strength analysis for the solid model of the
probe assembly by applying the design vertical and radial probe loads separately using the finite element method.
By applying the vertical and radial probe loads separately, the static analyses can determine: (1) the radial and
vertical stiffness of the probe assembly for the dynamic helicopter/ship interface simulation, (2) the critical high
stressed locations in the probe assembly, and (3) the load factors relating the critical high stress to the probe loads.
Figures 8-10 show areas of high stress in the PSEs: shaft, inner housing, outer housing, spherical nut, and
crenellated ring of a typical probe assembly, respectively. Recall that the spherical nut and crenellated ring react the

vertical loads only as the radial loads are applied above the crenellated ring (refer to Fig. 2).

o,
oy

7

Point #1

p_—

Point #2

(b)
Fig. 8 Critical locations on the probe shaft: (a) radial load only and (b) vertical load only.

. Point#4

Fig. 9 Critical locations on the inner housing: (a) radial load only and (b) vertical load only.
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Fig. 10 Critical locations on outer housing: (a) radial load only and (b) vertical load only.

(a) (b)

Fig. 11 Critical location on the spherical nut (a) and crenellated ring (b).

The most critical points in each probe component are summarized in Fig. 12. Each point was selected as being
the most critical based on the applied loading direction. For example, two points on the shaft have been identified.
Point #1 is the peak stress as a result of radial loading only, while Point #2 is the peak stress as a result of vertical
loading only. The same approach was used for the inner and outer housing, where the peak stresses identified by
Points #3 and #5 are the results of radial loading and Points #4 and #6 are the results of vertical loading. Recall that
the spherical nut and crenellated ring experience vertical loading only. Therefore, Points #7 and #8 highlight the

peak stresses in the spherical nut and crenellated ring respectively resulting from vertical loading.
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Fig. 12 Critical locations in probe components for fatigue analysis.

Having identified the critical locations, a relationship between each probe load component and the resulting

stresses at each critical point is established, such that:

oc=aF +bF, (15)
where F, and F,, are the unit radial and vertical probe load components, a; and by are the associated load factors and

ois the stress at the critical locations, respectively.

V. Fatigue Load Spectra Parameters

In order to predict the likely probe life, in terms of fatigue, a suitable description of the fatigue load spectra that
the helicopter probe can be expected to experience throughout its life when embarked on a frigate sized vessel is
required. Dynamic helicopter/ship interface simulations, using Dynaface®™, will generate an appropriate probe
securing load spectrum to be used in the fatigue life estimation. Therefore, several parameters pertinent to the
dynamic helicopter/ship interface must be carefully identified in the simulations in order to develop a realistic load
spectrum. These include:

e sea state conditions (i.e. significant wave height, wave modal period, wind speed and direction, and sea state
probabilities to be considered to formulate the design spectrum);

e ship operations (i.e. ship speed, ship heading, and probability of operation);

e helicopter configuration and on-deck configurations; and

e helicopter launch and recovery time periods.
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A. Sea State Conditions

The typical objectives of a government defense policy include: homeland security, defense of continent, and
contribution to international security. As a result, ships can be placed in a variety of sea regions around the world.
Since the most severe sea conditions can typically be found in the North Atlantic Ocean, the analyses considered sea
conditions associated with both the open ocean and littoral waters of the North Atlantic Ocean. The distribution of
sea states is summarized in Fig. 13(a) for the open ocean, based on information provided in the NATO standard
STANAG 4194.'? Considering the fact that an embarked helicopter will not operate on deck beyond sea state 6, the
sea state probabilities shown in Fig. 13(a) were normalized to exclude sea states greater than 6 as summarized in
Fig. 13(b).

Sea State > 6 Sea State < 3
7.21% 7.50%

Sea State 6

13.15% Sea State 3

23.70%

Sea State 5

20.64%
Sea State 4
27.80%
(@)
Sea State 6 Sea State < 3
14.17% 8.09%
Sea State 3
25.54%
Sea State 5
22.24%

Sea State 4
29.96%

(®)

Fig. 13 (a) Distribution of sea state for the North Atlantic Ocean (b) normalized sea state distribution
excluding sea states above sea state 6.
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In order to define the sea conditions associated with a particular sea state, a description of the significant wave
height (SWH), modal period, and wind speed must be provided. Table 1 summarizes the SWH, modal period, and
sustained wind speed for each sea state used in the simulation. > The SWH represents the upper bounds of the sea
state, the modal period represents the most probable value for the sea state, and the wind speeds are applicable at a

height of 10 meters above sea level as a helicopter on a typical frigate is located approximately at this height.

Table 1 Normalized North Atlantic sea conditions for fatigue analysis. B

Sea State  SWH  Modal Period ~ Wind Speed

Number m Sec. m/s (knots)
<3 0 7.5 0
3 1.25 8.8 5.6 (11)
4 2.5 9.7 8.2 (16)
5 4 10.9 10.7 (21)
6 6 11.5 13.8 (27)

From dynamic interface analyses, it was found that probe loads occurring in sea states less than 3 were low and
would not significantly affect the fatigue life. Thus, the dynamic helicopter/ship interface analyses were carried out
only for sea states 3, 4, 5, and 6 in order to generate the fatigue load spectrum. In addition, all operational cases were
analyzed with the wind direction aligned with the principal sea direction, as is the case for developing seas.
However, in sea states 5 and 6, wind directions of £30° relative to the principal sea direction were also considered to
account for instances where the wind is not aligned with the direction of the sea. These were assumed to apply 25%
of the time in each direction. The wind was assumed aligned with the sea direction for the remaining 50% of the
time. The actual apparent wind speed and direction over the flight deck is calculated as the resultant of the wind

vectors arising from the true wind speed and the ship speed.

B. Ship Operation

The ship’s response to the seaway was assumed symmetrical about its longitudinal axis, as is usually the case
with linear ship motion analysis. Consequently, the value at a heading of 60°, for example, will be the same as that
at 300°. It is possible, therefore, to choose ship headings from the range 0° to 180° where 0° corresponds to head
seas, 90° corresponds to starboard beam seas, and 180° corresponds to following seas, respectively. Although only
half of the headings were used in dynamic simulations for the fatigue analysis (0° — 180°), the statistics for 0°

through 360° were considered. The ship is assumed to spend equal time at all headings relative to the principal sea
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direction in 15° increments. This assumption is conservative regarding the fatigue life estimation as in reality the
ship will likely be in more favorable headings for a larger portion of the time.

Ship speeds for a typical frigate range from 0 to 15.4 m/s (0 — 30 knots). '* However, the ship’s likely speed is
dictated by the mission with the economical cruising speed frequently used. Very high and very low speeds are rare.
Typical frigates have an economical cruising speed of 7.7 m/s (15 knots). "> Figure 14(a) shows the probability
distribution of ship speed for a typical warship used for the purpose of this fatigue analysis. '*'*'” Note that in rough
seas it becomes increasingly difficult to obtain high speeds due to increased ship motion, slamming, and deck
wetness. Therefore, for the purpose of the fatigue analysis, ship speed of 15.4 m/s (30 knots) will not be included for
sea state 6 only. As a result, the probability distribution of ship speeds was renormalized for sea state 6 as shown in

Fig. 14(b).
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Fig. 14 (a) Distribution of ship speed for sea states 3 through 5 (b) normalized ship speed distribution
excluding 30 knots for seas state 6.

C. Helicopter Configuration

1. Embarked Operation Cycles

Typical maritime helicopters have a minimum useful life of 10,000 flight hours. Since embarked helicopters are
not necessarily assigned to an individual ship for the entire life of the helicopter and ships are typically at sea for
between 20 — 40% of the time. It can be expected that an embarked helicopter will conduct both shore-based and
embarked operations throughout the course of its life. A typical usage rate as a percentage of the annual flying rate
can be approximate 55% shore-based and 45% embarked. Therefore, approximately 4,500 flights hours out of the

minimum useful life of 10,000 flight hours can be considered as embarked operations. Considering that helicopter
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manufacturers typically assume 1.5 cycles (1 cycle = 1 take-off and 1 landing evolution) of probe operation per
embarked flight hour, '* it is reasonable to assume the minimum number of embarked cycles over the useful life of
the helicopter is approximately 1.5 x 4,500 = 6,750 cycles. Furthermore, the average annual flying rate is dictated by
the type of missions expected from the helicopter and available funding. However, for maritime helicopters,
approximately 400 flight hours per year can be expected for a useful life of 25 years. Therefore, a typical probe will

experience approximately 270 cycles of embarked operation per year.

2. Weight of Embarked Helicopter

Most embarked helicopter sortie profiles typically involve the helicopter taking off at its maximum gross weight.
However, upon return from a mission, the helicopter may not necessarily be at its minimum landing weight. In
addition, to ensure a constant state of readiness, maritime helicopters are typically refueled prior to being traversed
into the hangar. Therefore, for this analysis, the helicopter is assumed to be at the maximum weight 75% of the time

and minimum landing weight 25% of the time.

3. Alignment of Embarked Helicopter with Ship Centerline

The RAST system is capable of securing a helicopter with a misalignment of up to £30° yaw from the ship’s
centerline. However, experienced pilots are rarely misaligned with the ship’s centerline by more than £5° upon
touchdown even under extreme conditions. Therefore, sea states 5 and 6 were analyzed both with the helicopter
aligned and misaligned having an assumed distribution of 80% at 0° alignment and 10% each for +30° and —30°
alignment. These probabilities occur for the recovery and straightening phases of embarked operations. For all other
on-deck operations (i.e. traverse and launch) the helicopter is always aligned with the ship’s centerline. For sea
states less than 5, the helicopter is assumed aligned since it will be for the majority of the time.

In the event that the helicopter lands misaligned with the track centerline, the next step would be to straighten the
helicopter. As most naval helicopters have a free swiveling auxiliary gear, numerous gear angles are possible. It is
ultimately up to the system operator as to the sequence of manecuvers that will be required to straighten the
helicopter. Therefore, it was assumed in this analysis that the helicopter will spend 50% of the straightening time

with the auxiliary gear aligned (0°) and 50% at 90° for a given straightening evolution.
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D. Launch and Recovery Time Assessment

The typical operating cycle times are summarized in Table 2 based on data contained in MIL-R-85111A "°.
Table 3 expands the description to include assumed estimates of the time spent with various combinations of landing
gear brake status (disengaged and engaged) and rotor status (stopped and turning). Although not strictly required
when using the RAST system, typical embarked helicopter operating procedures stipulate that the helicopter is to be
lashed prior to launch and following recovery. However, it was conservatively assumed that lashings were not
applied. It should be noted that helicopters fitted with a probe perform both free-deck (i.e. helicopter lands with the
probe within the capture area of the RSD but is not secured by the RSD) and captured landings. Free-deck landings
are typically performed in lower sea states as the ship motions are less severe. However, for the fatigue analysis it
was conservatively assumed that the probe is always secured by the RSD when the helicopter is on-deck. It was also

assumed that the helicopter is lashed at all times that it is not involved in a flight cycle.

Table 2 RAST operating cycle times

Traverse to DLA S minutes
Launch 15 minutes
Recovery 15 minutes
Straightening and Traverse to Hangar 10 minutes
Total 45 minutes

Table 3 Rotor and brake status for RAST operation

Time Brakes  Rotor
(minutes)  Status Status
Traverse (hangar to
DLA) 5 Off Stopped
Launch — Secured 12.5 On Stopped
Launch — Secured 2.5 On Turning
Recovery — Secured 2.5 On Turning
Recovery — Secured 12.5 On Stopped
Straighten & 10 Off Stopped

Traverse to hangar

VI. Fatigue Life Analysis and Results
A. Fatigue Stress Spectra
The combination of the probabilities of operating conditions and the knowledge of helicopter operating
procedures summarized in the previous sections resulted in approximately 12,000 simulation cases. Each case was

run for 30,000 seconds in order to ensure that typical fatigue loading of the probe would be captured and used for
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subsequent analysis. The fatigue stress at each critical point was calculated by converting the probe load time
histories from the dynamic helicopter/ship interface simulations using Eq. (6). The fatigue stress spectrum at each
critical point was then generated by processing the fatigue stress time histories using a rainflow cycle counting
method as described in ASTM E1049-85 *° for each operating condition by enumerating the number of fatigue
cycles associated with all combinations of stress ranges and their mean value. Based on the knowledge of the
amount of time the probe is expected to experience for each of the operating conditions, the corresponding rainflow
chart developed was weighted by an appropriate probability of occurrence for that condition. The cumulative
rainflow matrices corresponding to each of the orthogonal securing load directions were converted from the
expected number of stress cycles per year to the total number of stress cycles expected over the design life of the
probe. This provides a summary rainflow chart that is the weighted sum of the rainflow charts corresponding to each
simulation case. Figures 15 — 16 show the results of the cumulative weighed rainflow cycle counting of the stress
spectra for two of the eight critical points identified in Section IV. Figures 15(a) — 16(a) show the overall
representation while Figs. 15(b) — 16(b) present the same information using a different scaling of the vertical axis to

effectively zoom in on the lower cycles. Note that certain values may be clipped in the zoom-in process.
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Fig. 15 Rainflow cycle counting results for Point #1 (per 10,000 flight-hours)
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Fig. 16 Rainflow cycle counting results for Point #5 (per 10,000 flight-hours)

These cycles are further converted to equivalent fully reversed stress cycles at zero mean using fatigue failure
criteria in order to use the experimental S—N curve data that are mostly available at zero stress ratio. Several fatigue
failure criteria described in literature 2! can be used such as: the Soderberg method, the modified Goodman method,
and the Gerber method, as shown in Fig. 17. Among them, the Soderberg criterion is the only method guarding

against yielding and is adopted in this analysis.
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Failure

Fig. 17 Schematic of fatigue failure criterion.

The Soderberg equation written in terms of mean and alternating stresses is:

%y On (16)
O o

where o, and o, are the alternating stress and mean stress, and o, and o, are the equivalent fatigue stress at zero-
mean stress and yield stress of the material, respectively.

By rearranging Eq. (16), the equivalent fatigue stress at zero-mean stress can be expressed in terms of the
alternating, mean and yield stresses as:

o,= % (17)
l-0,/0,

B. Estimation of Fatigue Life with Flaw Tolerance Analysis

The equivalent fatigue stresses at the critical locations are calculated by using the fatigue stress spectra and
Eq. (17). The expected fatigue life of the probe components can be determined using the Palmgren-Miner
cumulative damage analysis.?' The Palmgren-Miner rule states that the cumulative total fatigue damage D, is

comprised of damage contributions D; arising from stress cycles occurring at each stress level, such that:

p =3 (18)
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where m is the total numbers of distinct stress levels, #; is the number of cycles expected during the design life at the
distinct stress level o;, V; is the number of cycles that would cause crack initiation under the same stress level, based
on the S-N curves of material testing.

The S-N curves are the experimental results of smooth specimen conducted in the laboratory conditions and are
not necessarily reflective of the actual components as manufactured that contain flaws **. As a result, these S-N
curves need to be adjusted to yield working S-N curves that reflect the actual conditions of the probe components to
account for various flaws as well as a life reduction factor. The modifying factors that were taken into consideration
include: surface finish condition of the parts (K)); size effect of the parts (K,); impact load factor (X)); reliability
factor (K,); temperature factor (K,); and corrosion factor (K.).** ~*® Thus, the corrected fatigue endurance stress limit

S, can be expressed as:

S, =S.,K,K,K KKK, (19)

where S, is the non-degraded endurance stress limit.

Once the “as manufactured” working S-N curves were reduced by the above modifying K-factors, an additional
factor referred to as the life reduction factor was applied to fatigue cycles less than 10*. The life reduction factor
conservatively adjusts the low cycle fatigue performance of the material. A life reduction factor of 4 is typically
used for helicopter components *’.

Thus, the expected fatigue life of the probe assembly is given by:

Fatigue life = Design life / D, (20)

where D, is evaluated using the adjusted working S-N curves to account for manufacturing flaws.

C. Fatigue Life Estimation

The stresses at each critical location calculated in the previous section occur at various stress alternates with an
associated non-zero mean value. These alternating stresses with non-zero mean stresses were converted to fully
reversed alternating stresses at zero mean stress using the Soderberg equation (Eq. 17). The resulting stresses and
corresponding cycles at each critical point were then compared against the working fatigue S—N curves developed in

the previous section to determine the fatigue cumulative damage using the Palmgren-Miner rule.
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Figures 18 — 21 show the expected number of cycles, over the 10,000 flight-hour design life of the probe, at
specific values of fatigue stress for each critical point in the probe (refer to Section IV). The endurance stress limits
(dashed lines) in each figure represent the values obtained from the working S—N curves that have taken the flaw
factors into consideration. It should be noted that the probe components are comprised of different materials hence

the differing endurance limits across each figure.
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Fig. 18 Shaft stress cycles at critical point a) #1 and b) #2
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Fig. 19 Inner housing stress cycles at critical point a) #3 and b) #4
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Fig. 20 Outer housing stress cycles at critical point a) #5 and b) #6
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Fig. 21 Spherical nut stress cycles at critical point a) #7 and b) #8

A quick examination of the above figures shows stress cycles exceeding the endurance limit of the specific
material leading to an impact on the fatigue performance of the component. However, the majority of the stresses
above the endurance limit occurred at relatively low cycles. The exception to this is the inner and outer housings
(Figs. 19 —20) where a large number of cycles at high stresses were observed. This provides an immediate
indication that the resulting fatigue lives on these two components would be relatively low. The exact life is not
known until a cumulative damage analysis is performed using the Palmgren-Miner rule.

The results of the cumulative damage analysis are summarized in Table 4 indicating a minimum fatigue design

life of 11,031 flight-hours, which exceeds the minimum 10,000 flight-hours design requirement.
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Table 4: Cumulative damage analysis results for each critical location
Cumulative Damage  Calculated Fatigue  Design Life in

g(r)lit:l:il per 10,000 flight-hours  Life in flight-hours flight-hours
(D) (=10,000/D,) (10,000 hours)
1 0.049284 >10° Exceeded
2 0.000443 >10° Exceeded
3 0.906528 11031 Exceeded
4 0.129332 77320 Exceeded
5 0.535223 18683 Exceeded
6 0.047603 >10° Exceeded
7 0.406966 24572 Exceeded
8 0.000325 >10° Exceeded

VII. Conclusion

This paper develops a framework of dynamic simulation driven fatigue life analysis of a helicopter landing probe
for a typical 12-ton tricycle landing gear helicopter for embarked operations on a typical frigate. The fatigue life
analysis of the probe assembly consists of two sub-tasks; (1) the novel dynamic helicopter/ship interface simulation
using Dynaface” to generate the time histories of probe loads, and (2) the cumulative fatigue damage analysis of the
probe assembly, respectively.

The dynamic analysis of the ship/helicopter interface generated probe loads over a wide range of operating and
environmental conditions that the helicopter can be expected to operate over its service life. Each dynamic
simulation was performed for an extended time period to capture, with a minimum 99.9% confidence level, all the
possible probe loads, otherwise they would be practically unobtainable even by limited sea trial testing. The
simulated radial and vertical probe load time histories were then converted to equivalent stresses based on the unit-
load FE analysis of the individual probe structure. The critical stress locations on each probe component were
identified and the time histories of the critical stress were calculated using the simulated probe load time histories.
These stress time histories were then post-processed, using the established rainflow cycle counting methodology, to
determine the associated number of cycles at specific stress ranges and mean values. Weighted functions,
representing the probability of occurrence of each operating condition over the 10,000 flight-hour design life were
then applied to each load case to modify the rainflow cycle counts. Using the Palmgren-Miner rule and the working
fatigue S-N curves, accounting for the manufacturing flaws, the cumulative fatigue damages over the expected
10,000 flight-hours service life were calculated. The results of the analysis indicate that the probe has a fatigue life
or recommended retirement time of 11,031 flight-hours, which is greater than the required design life, and was

primarily dominated by the radial loading on the probe. The fatigue life calculations were based on a series of
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conservative assumptions. In reality, the probe will likely have a longer life. A fatigue life testing will be performed
in the future to validate the dynamic simulation driven fatigue life analysis.

By integrating the novel dynamic helicopter/ship interface simulation, the rainflow cycle counting method, the
finite element method, and the cumulative fatigue damage analysis into one analysis environment, this new approach
provides an innovative and efficient design tool by virtual prototyping that can speed up the design process and

reduce the cost.
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